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TitaniumLinear friction welding (LFW) is a solid-state joining process that is ﬁnding increasing interest from industry for
the fabrication of titanium alloy (Ti–6Al–4V) preforms. Currently, the effects of the workpiece geometry on the
thermal ﬁelds, material ﬂow and interface contaminant removal during processing are not fully understood. To
address this problem, two-dimensional (2D) computational models were developed using the ﬁnite element
analysis (FEA) software DEFORM and validatedwith experiments. A key ﬁnding was that thewidth of thework-
pieces in the direction of oscillation (in-planewidth) had amuch greater effect on the experimentalweld outputs
than the cross-sectional area. According to the validated models, a decrease of the in-plane width increased the
burn-off rate whilst decreasing the interface temperature, TMAZ thickness and the burn-off required to remove
the interface contaminants from theweld into the ﬂash. Furthermore, the experimental weld interface consisted
of aWidmanstättenmicrostructure, which became ﬁner as the in-plane width was reduced. These ﬁndings have
signiﬁcant, practical beneﬁts and may aid industrialisation of the LFW process.
© 2015 The Authors. Published by Elsevier Ltd. This is an open access article under the CC BY license
(http://creativecommons.org/licenses/by/4.0/).1. Introduction
Linear friction welding (LFW) is a solid-state joining process that
works by oscillating one workpiece relative to another whilst under a
large compressive force, as shown in Fig. 1(a). Despite being one contin-
uous process, LFW is said to occur over four [1–3] phases:
• Phase 1— initial phase. Microscopic contact exists between asperities
on the two surfaces to be joined and heat is generated due to friction,
see Fig. 1(b). The asperities soften and deform, increasing the true
area of contact between the workpieces. Negligible axial shortening
(burn-off) in the direction of the applied force is observed during
this phase.
• Phase 2— transition phase. The heat due to friction causes the interface
material to plasticise and become highly viscous, as shown in Fig. 1(c).
This causes the true area of contact between theworkpieces to increase
to 100% of the cross-sectional area. Heat conducts away from the inter-
face, plasticisingmorematerial, and the burn-off begins to occur due to
the expulsion of the viscous material from the interface.
• Phase 3— equilibriumphase. A quasi-steady-state condition is achieved
and the burn-off occurs at a nearly constant rate through the rapid gen-
eration of ﬂash. The ﬂash is generated in all directions — see Fig. 1(d).cAndrew).
. This is an open access article under• Phase 4 — deceleration phase. The relative motion is ceased and the
workpieces are aligned. In some applications, an additional increased
forging force may be applied to help consolidate the weld.
Components machined from solid titanium are expensive due to the
large amount ofmaterial that is purchased compared to the amount that
remains after machining. LFW reduces the material required to produce
a component by joining smallerworkpieces to produce a preform,which
is subsequently machined to the desired dimensions, as shown in Fig. 2.
Currently, the LFWprocess is an established technology for themanufac-
ture of titanium alloy integrated bladed discs (blisks) for aero-engines
[6–10]. However, due to the signiﬁcant cost savings that can be achieved
when fabricating components [7,8,11], LFW isﬁnding increasing interest
from other industrial sectors – particularly for the joining of Ti–6Al–4V.
Despite this interest, the process has experienced limited additional in-
dustrial implementation [12,13], which is partly due to a lack of funda-
mental scientiﬁc understanding of LFW [13]. The rapid nature of the
process and the fact that the interface of the workpieces cannot be ob-
served during welding means that using physical experiments alone
may fail to provide adequate insight into the LFW process.
Computational numerical modelling offers a pragmatic method for
understanding what is happening during the rapidly evolving process
[14–18]. For example, LFW models have been used to provide insight
into the residual stress formation [19,20], strain rates [14,4], ﬂash mor-
phology [14,18,4,21], ﬂash formation rates [14,16,17,4,21,22], thermalthe CC BY license (http://creativecommons.org/licenses/by/4.0/).
Fig. 1. (a) Illustration of the linear friction welding process, (b) asperity interaction,
(c) viscousﬂow, and (d) a completed Ti–6Al–4Vweldment showing the expelled interface
material (ﬂash) where oscillation took place in the y direction [4,5].
Fig. 2. Fabrication of a titanium alloy (Ti–6Al–4V) preform using the LFW process. The as-
welded structure can be seen on the left side of the ﬁgure and the ﬁnal machined compo-
nent on the right.
Courtesy of TWI [11].
1088 A.R. McAndrew et al. / Materials and Design 87 (2015) 1087–1099ﬁelds [3,14–17,19,4,21–27], microstructure evolution [28] and interface
contaminant removal [14,4].
According to the literature, there are three primary approaches that
can be used to model the LFW process. The ﬁrst approach, as evidenced
by the early work by Vairis and Frost [15] involved modelling only one
workpiece, whichwas oscillated against a non-deformable surface, as il-
lustrated in Fig. 3(a). This approach allows for quicker computational
times as only half of the geometry is modelled. The problem, however,
is that the coefﬁcients of friction need to be known so that the thermal
aspects of the model during phase 1 can be predicted accurately. Fur-
thermore, due to only one workpiece being modelled, it is impossible
to model the ﬂow behaviour after the two workpieces merge to each
other (see Fig. 1(c)).
As computational power increased, many authors expanded on the
early approach to develop the second modelling approach, which con-
sidered both workpieces [3,16,20,22,23,26–29], as illustrated in Fig.
3(b). Many of the problems with this approach are the same as the
ﬁrst. For example, despite considering both workpieces, models of this
type show that they never truly merge during phases 2 and 3 – as hap-
pens in reality for many materials [8,30,31] – meaning the ﬂow behav-
iour after the workpieces merge to each other is still not considered.
The third approach, as shown in Fig. 3(c), was developed by Turner
et al. [14], who noticed that prior to the workpieces merging there is
negligible macroscopic plastic deformation, at least for the titanium
alloy Ti–6Al–4V. Once a viscous layer is formed the process may be
modelled as a single-body due to there being full contact between the
two workpieces. A temperature proﬁle needs to be mapped onto the
single-body model to account for the heat generated prior to merging.
This is vital, as the temperature proﬁle will result in a low ﬂow-
strength for the material at the centre. This enables the material at the
centre to deform in preference to the surrounding material, allowing
the single body to represent two individual workpieces. Due to the
merging of the interface material being modelled, this approach con-
siders the true interface ﬂow behaviour and produces much better rep-
lications of the ﬂash morphology for Ti–6Al–4V workpieces [14,18,21].
The limitation of this approach is that the stages prior to workpiece
merging are not modelled.
The majority of the investigations into the LFW process –modelling
and experimental – have focused on characterising the “primary” pro-
cess inputs, namely the amplitude, frequency, applied force/pressure
and burn-off [1,5,14,4,32,33]. The effects of the workpiece geometry
were often neglected. To the authors' knowledge, only two journal pub-
lications speciﬁcally comment on the geometric effects; and both were
concerned with titanium alloys. Karadge et al. [9], for an identical com-
bination of process inputs, showed that the post-weld interface grain
size and the thickness of the thermo-mechanically affected zone in-
creased when larger workpieces were used. Sorina-Müller et al. [16]Fig. 3.Modelling approaches: (a) one workpiece, (b) two workpieces (c) a single body
representing two workpieces.
Adapted from McAndrew et al. [4].
Fig. 4. (a–d) An illustration of the workpiece dimensions and directions of motion, and (e) Bi-modal alpha-beta microstructure of the material viewed under a microscope — the alpha
phase microstructure is white/grey in appearance and the beta phase microstructure is black in appearance.
Table 1
Experiment conditions.
Weld Geometry In-plane
width (mm)
Out-of-plane
dimension (mm)
Cross-sectional
area (mm2)
Oscillation
frequency (Hz)
Oscillation
amplitude (mm)
Average rubbing
velocity (mm/s)
Welding
force (kN)
Welding
pressure
(MPa)
Burn-off
(mm)
1 Fig. 4(a) 40 20 800 50 2.7 540 100 125 3
2 Fig. 4(b) 20 40 800 50 2.7 540 100 125 3
3 Fig. 4(c) 20 20 400 50 2.7 540 50 125 3
4 Fig. 4(d) 10 20 200 50 2.7 540 25 125 3
1089A.R. McAndrew et al. / Materials and Design 87 (2015) 1087–1099compared the interface temperatures between a “prismatic” and a
“blade-like” geometry — the larger prismatic geometry had a higher
peak temperature. The reasons why these phenomena occurred were
not investigated in any signiﬁcant detail. Furthermore, when 2Dmodel-
ling Ti–6Al–4V linear frictionwelds, Turner et al. [14] and Schröder et al.
[18,21] noticed “ripples” in the ﬂash morphology, which was not ob-
served by McAndrew et al. [4]. The only major difference between theFig. 5. (a) Location of the sectioning plane where ‘x’ represents the out-of-plane dimension, an
ically affected zone (TMAZ), parent material (parent) and the TMAZ thickness [5].models was the size of the workpieces used — the in-plane width was
larger in the work by McAndrew et al. [4].
The research reported in this paper investigated the reasonswhy the
workpiece geometry affects the process behaviour. In particular, exper-
imentally validated 2D models were used to investigate the workpiece
geometry effects on thematerial ﬂow, thermal ﬁelds and interface con-
taminant removal during the LFW of Ti–6Al–4V workpieces.d (b) a metallographic specimen showing the weld centre zone (WCZ), thermo-mechan-
Table 2
Process inputs simulated by the models.
Combination Oscillation amplitude (mm) Oscillation frequency (Hz) Average rubbing velocity (mm/s) Simulated pressure (MPa) Burn-off (mm)
1 2.7 50 540 125 3
2 1 30 120 125 3
3 2.7 50 540 40 3
4 2 30 240 40 3
Fig. 6. Schematic diagram of the 2D thermalmodel. (Note that the in-planewidth and the
120 mm dimension are for the workpieces only — not the tooling) [5].
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2.1. Experimental details
The experimental Ti–6Al–4V workpiece dimensions used in this
study are displayed in Fig. 4(a–d). The Ti–6Al–4V parent material had
a bimodal alpha-beta microstructure, as shown in Fig. 4(e). The experi-
mental conditions investigated are displayed in Table 1. Note that the
applied welding force wasmodiﬁed so that a constant normal pressure,Fig. 7. (a) Example of the mesh used for the plastic ﬂow model anpn, of 125 MPa could be maintained between the different geometric
conditions when the oscillatory displacement was at zero. Also listed
in Table 1 is the average rubbing velocity, v r . This term is the average
absolute velocity generated over a cycle of oscillation, which Addison
[11] deﬁned as:
v r ¼ 4  A  f ð1Þ
where: A is the oscillation amplitude and f is the oscillation frequency.
For the process input range investigated, McAndrew et al. [5,4]
showed that the LFW outputs were primarily dependent on the average
rubbing velocity. Changing the oscillation amplitude or frequencywhile
keeping the average rubbing velocity constant only had a small impact
on the results. However, it must be emphasised that this rubbing veloc-
ity phenomenon may not hold true for values outside of the amplitude
(1 mm–2.7 mm) and frequency (20 Hz–70 Hz) range previously inves-
tigated by the authors [5,4] or for othermaterials. For each experimental
condition, the forging force applied during phase 4was kept identical to
thewelding force applied during the earlier phases and applied for 10 s.
Worthy of note in Table 1, the in-plane width and out-of-plane dimen-
sion represent the in-plane width of the workpieces in the direction of
oscillation and the dimension out-of-plane to oscillation, respectively.
The welds were completed using the FW34 LFW machine
(manufactured by Thompson Friction Welding) at TWI, Cambridge.
The faying surfaces were cleaned with acetone immediately prior to
welding.
Metallographic specimens were produced from the experiments in
Table 1 in accordance with the sectioning plane shown in Fig. 5(a),
i.e., they were sectioned and polished so that the centre of the weld
may be viewed in-plane to the direction of oscillation. The sectioned
samples were mounted and then ground using 240, 1200, 2500 and
4000 grit silicon carbide papers. After grinding, the sectioned samples
were polished using colloidal silica on a micro-cloth and etched using
a 3% hydroﬂuoric acid solution. The metallographic samples were
viewed under a refractive microscope to determine the microstructured (b) an illustration of the assumed phase 1 thermal proﬁle.
Fig. 8. Point tracking evolution: (a) initial conditions, (b) ﬂow during processing and (c) complete expulsion.
Table 3
Experimental phase 1 responses for a rubbing velocity of 540 mm/s and a pressure of 125 MPa.
Weld Geometry In-plane width (mm) Cross-sectional area (mm2) Average phase 1 heat ﬂux (W/mm2) Average phase 1 shear stress (N/mm2) Phase 1 duration (s)
1 Fig. 4(a) 40 800 24.9 47.5 0.29
2 Fig. 4(b) 20 800 27.9 53.4 0.25
3 Fig. 4(c) 20 400 29.5 58.9 0.22
4 Fig. 4(d) 10 200 52.1 104.6 0.15
1091A.R. McAndrew et al. / Materials and Design 87 (2015) 1087–1099of the weld centre zone (WCZ) and the thermo-mechanically affected
zone (TMAZ), as shown in Fig. 5(b). Technically the WCZ and the
TMAZ are both “thermo-mechanically affected zones” but due to the
vastly different microstructures they possess, they are often considered
separately [3,7,8,30,34]. The distance from one TMAZ/parent material
boundary to the other was also recorded and will be referred to as the
TMAZ thickness in this publication, as shown in Fig. 5(b).
Several other responses were recorded from the experimental
welds. The steady-state burn-off rate was determined by calculating
the gradient of the line when the burn-off occurred at a constant rate
during phase 3. In addition, the total energy input to the weld interfaceFig. 9. FEA ﬂash morphologies as a function of the amplitude, A; average rubbing velocity,
vr; pressure, pn; and in-plane width. Note that not all of the ﬂash is shown for the 40 mm
cases.for a phase, Ex, was estimated [5,35] by integrating the power with re-
spect to time:
Ex ¼ ∫
T
0
Fintv dt ð2Þ
where T is the total duration of the phase, v is the velocity at a speciﬁc
point in time during a sinusoidal cycle and Fint is the interface force at
a speciﬁc point in time during a sinusoidal cycle. The experimental out-
put data from the FW34 LFW machine was used to determine these
values in accordance with the approach reported elsewhere [5,35]. To
determine the average power input generated over a phase, the energy
input for that phase was divided by the phase duration.
2.2. Development of a model
The ﬁnite element analysis (FEA) software DEFORMwas used for the
modelling work. Although 2Dmodels are unable to replicate the ﬂash in
the direction perpendicular to oscillation they still provide a good under-
standing of the LFW process trends [14,18,4,21,36]. Furthermore, 3D
LFW process models require substantially more computational time
than a 2D simulation [4], so a 2D modelling approach was used. The
LFWprocesswas representedwith a 2Dplane strainmodel that analysed
a slice in the direction of oscillation at the centre of the workpieces de-
tailed in Fig. 4(a–d). The modelling approach illustrated in Fig.
3(c)was used for themodellingwork in this paper. In summary, the pro-
cess was modelled as two distinct stages. The ﬁrst stage used a purely
thermal model to replicate the heating of the workpieces during phase
1. The second stage used a coupled thermo-mechanical plastic ﬂow
model to account for the material deformation during phases 2 and 3.
The data from the phase 1 thermal model was mapped onto the plastic
model to provide the initial thermal condition. The thermal and plastic
models are further detailed in Sections 2.2.1 and 2.2.2, respectively.
The LFW process input combinations of interest for the modelling
work are displayed in Table 2. Note that force per unit length is used
to simulate the pressure in a 2D analysis. The purpose of the study
was to model each process input combination detailed in Table 2 for
each of the geometric conditions in Fig. 4(a–d), therefore giving 16 con-
ditions. However, the conditions in Fig. 4(b) and (c) were suitably rep-
resented by the same 2D model — both having an in-plane width of
20 mm. This resulted in 24 models being produced, 12 thermal and 12
plastic ﬂow.
Fig. 10. Flash formation and morphology determined from the FEA, showing: (a) the mechanisms behind the ripple morphology, (b) the mechanisms behind the smooth morphology,
(c) the boundary temperature between the rapidly ﬂowing viscous material and the workpiece material with negligible ﬂow [4] and (d) region of high strain rate.
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Fig. 11. Flash morphology for: (a) 40 mm in-plane width and (b) 10 mm in-plane width.
Fig. 12.A comparison of the FEA (Model) and experimental (Exp) results for: (a) the burn-
off during phases 2 and 3 vs. time as a function of the in-plane width for an average rub-
bing velocity of 540mm/s and a pressure of 125MPa; and (b) burn-off rate during phase 3
as a function of the in-plane width, average rubbing velocity, vr, and the normal
pressure, pn.
1093A.R. McAndrew et al. / Materials and Design 87 (2015) 1087–10992.2.1. Thermal model (phase 1)
The 2D thermal models were developed in accordance with the di-
mensions shown in Fig. 6, for in-plane widths of 40 mm, 20 mm and
10 mm. A uniform mesh size of 0.5 mm was used across the thermal
models. The tooling extended to within 5 mm of the interface, as it did
in the experiments. Temperature dependent thermal conductivity, spe-
ciﬁc heat and emissivity data from the DEFORM software's library were
used. The convective heat transfer coefﬁcient and the conductive heat
transfer coefﬁcient with the tooling were assumed to be
10 Wm−2 K−1 and 10,000Wm−2 K−1, respectively. The temperature
of the environment was assumed to be 20 °C.
A uniform heat ﬂux (q') (W/mm2) was applied across most of the
workpiece interface which was linearly reduced to 50% of this value
from the oscillation amplitude (A) away from the edge as shown in
Fig. 6. The reduction at the edges was due to the sinusoidal movement
of the workpieces — the point at the corner was only in contact with
the other workpiece 50% of the time. The interface temperature at the
end of phase 1, irrespective of the process inputs, has been shown to
reach approximately 1000 °C [5], consequently, the heat ﬂux was ap-
plied until the elements at the interface had reached this temperature.
The heat ﬂux was calculated by dividing the power input equation de-
veloped for the conditions in Fig. 4(a) by the average in-contact inter-
face area of the workpieces over an oscillatory cycle. The power input
equation was as follows [5,4]:
Average phase 1 power kWð Þ ¼ 18:26366þ 0:32678  f
þ 9:27832  Aþ 0:061476  Fa
þ 0:087638  f  A 4:21790  104
 f  Fa  2:33759  103  f 2
 1:93524  A2 ð3Þ
where: A is the oscillation amplitude (mm), f is the oscillation frequency
(Hz) and Fa is the applied welding force (kN).
The heat ﬂuxwas calculated for the 40mmwidth case andwas used
for all width dimensions that used the same combination of oscillation
frequency, oscillation amplitude and pressure. The validity of this ap-
proach will be discussed later in this paper.
2.2.2. Plastic ﬂow model (phase 2 onward)
Fully coupled thermo-mechanical 2D ﬂow models were developed
for the dimensions shown in Fig. 7(a), for in-plane widths of 40 mm,
20 mm and 10 mm. The models were speciﬁcally designed to focus on
the weld interface, i.e. 10 mm either side of the interface for the geom-
etries displayed in Fig. 4(a–d) to reduce the computational time re-
quired. The temperature proﬁle generated from the thermal model at
the end of phase 1 was mapped onto the single body to account for
the phase 1 heating, as illustrated in Fig. 7(b).
Since most of the plastic deformation and heat generation occurs at
the interface, most of the mesh elements – with a maximum width of
Fig. 13.Workpiece in-plane width effects on the ﬂash formation rate for: (a) large in-plane widths and (b) small in-plane widths.
1094 A.R. McAndrew et al. / Materials and Design 87 (2015) 1087–10990.13 mm [4] – were placed in a 4 mm band around the interface, as
shown in Fig. 7(a). The element size was increased outside of the
4 mm band. The oscillation movement and the applied force were pro-
vided by the lower and upper dies, respectively. The constitutive mate-
rial data used was the same as that used by Turner et al. [14]. The
material ﬂow stress was obtained from stress and strain curves for tem-
peratures, strains and strain rates between 20 °C and 1500 °C; 0 and 4;
and 0.001 s−1 and 1000 s−1, respectively. The values for the thermal
conductivity, speciﬁc heat capacity, emissivity, and heat transfer to the
tooling and environment were identical to the values used for the ther-
mal models. Each model was given a time-step so that the oscillation
movement travelled approximately one third of the interface mesh ele-
ment thickness per iteration. A re-mesh was initiated every 0.1 s for all
of the models. In accordance with the DEFORM user manual's recom-
mendations [37] and othermodellingwork on titanium frictionwelding
[16,17], 90% of the mechanical energy used to deform the material was
estimated to be converted to heat. The remainder of the energy was as-
sumed to be associated with causing changes in the dislocation density,
grain boundary generation and migration, phase transformation and
evolution, and stored in the form of crystalline defects [28,38].
Once the desired burn-off had been reached, the oscillatory and forg-
ing motions, and plastic analysis were stopped to allow the models to
cool down with a time step of 0.001 s.
Several responses were recorded from the models. They included
the steady-state burn-off rate, ﬂash morphologies, thermal ﬁelds, strain
rate, extent of the material being strained (FEA version of the TMAZ
thickness), the average phase 3 power input and interface force, and
the post oscillatory motion cooling rate. Finally, to understand the ex-
pulsion of the interface contaminants, a methodology originally pro-
posed by Turner et al. [14], which was validated by the authors of this
paper previously [4] was used. This involved placing tracked points
across the interface, with a 1 mm gap between each tracked point, as
shown in Fig. 8(a). The evolution of the tracked points was monitored
(see Fig. 8(b)) and the amount of burn-off required to completely
expel them into the ﬂash was recorded, as shown in in Fig. 8(c). Under-
standing the removal of interface contaminants, such as oxides andTable 4
Experimental ﬂash measurements.
Weld Geometry In-plane width (mm) Out-of-plane dimension (mm) Ratio of in-
1 Fig. 4 (a) 40 20 2
2 Fig. 4 (b) 20 40 0.5
3 Fig. 4 (c) 20 20 1
4 Fig. 4 (d) 10 20 0.5foreign particles, is important as they can negatively affect the mechan-
ical properties [30,39] and service life of a weld [14].3. Results and discussion
3.1. Experimental phase one phenomena
As shown in Table 3, the experimental phase 1 heat ﬂux, shear stress
and welding duration were dependent on the workpiece geometry. As
the in-planewidthwas decreased the heatﬂux and the stress increased,
whilst the duration decreased. These observations can be explained by
the following theory. For a constant oscillation amplitude, a reduction
of the in-plane width resulted in a greater percentage of the cross-
sectional area not being in-contact over an oscillatory cycle. This result-
ed in a greater pressure variance and hence a larger average pressure.
For example, the average pressure over a cycle of oscillation for weld
1 and weld 4 was approximately 131 MPa and 152 MPa, respectively.
Larger pressures causemore of the interface asperities to be “squashed”
onto each other – particularly whilst at the end of the displacement
stroke when the in-contact surface area is decreased – and require a
larger force to overcome the corresponding friction [40,41]. This in-
creased force resulted in a greater energy input (see Eq. (2).), which
caused the interface material to heat and plasticise much more rapidly,
thereby reducing the duration of phase 1.
There are two further observations worth commenting on. First, the
difference between the heat ﬂux, shear stress and duration values in
Table 3 for welds 2 and 3 was small. This suggests that the in-plane
width had a larger inﬂuence on the weld output than the overall cross
sectional area (weld 2 had the same in-plane width but double the
cross sectional area of weld 3). This phenomenon was also observed
for a range of experimental outputs, as will be shown throughout this
paper. Secondly, the values for the weld 4 heat ﬂux and stress were al-
most twice as high as the other welds. This could have been a result of
the greater pressure variance over a cycle of oscillation at these condi-
tions or misaligned workpieces.plane to out-of plane % of ﬂash expelled in-plane % of ﬂash expelled out-of-plane
53.5 46.5
85.4 14.6
79.8 20.2
87.6 12.4
Fig. 14. FEA (model) and experimental (Exp) results as a function of average rubbing velocity, vr, pressure, pn, and in-plane width for the phase 3: (a) interface temperature, (b) average
heat ﬂux, (c) TMAZ thickness and (d) interface strain rate.
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3.2.1. Flash formation and morphology
The FEA demonstrated how the ﬂash was generated in the direction
of oscillation. When the oscillation amplitude was at maximum dis-
placement the in-contact surface area was decreased. This caused a
pressure increase, resulting in the cooler material being plunged farther
into the highly viscous material. As the workpieces were brought back
together, the cooler material forced the hotter viscous material from
the interface. The mechanism bywhich the viscous material was forced
from the weld was sensitive to the processing conditions simulated.
Two primaryﬂash formationmechanismswere identiﬁed, one that pro-
duced “ripples” in theﬂash and one that produced a “smooth”morphol-
ogy, as shown in Fig. 9. The ﬁndings in Fig. 9 are in agreement with the
modellingwork on ﬂash formation reported by Turner et al. [14,19] and
Schröder et al. [18,21].
As originally reported by Schröder et al. [18] and supported by the
present study, the ripple morphology occurred when the ﬂash separat-
ed from the workpieces as themaximum amplitude displacement posi-
tionwas approached, as shown in Fig. 10(a). According to the FEA at the
point of separation very high strain rates (greater than 1500 s−1) were
produced, see Fig. 10(d). The high strain rate regions corresponded to
signiﬁcant, local yielding. This phenomenon exposed a fresh layer of
highly heated material, which was then sheared from the interface
into the ﬂash as the oscillatory motion was reversed. Each shearedlayer corresponded to a ripple in the ﬂash, see Fig. 10(a). In agreement
with Schröder et al. [18], the FEA demonstrated that the ripples were
more noticeable when the ratio between the TMAZ thickness and the
oscillation amplitude was reduced. For example, as shown in Fig. 9, for
a comparable amplitude, a reduction of the in-plane width or an in-
crease of the pressure resulted in more noticeable ripples – the TMAZ
thickness was reduced under these conditions. In addition, these condi-
tions also decreased the ﬂash thickness (see Fig. 9). Possible reasons for
why the TMAZ and ﬂash thicknesses were reduced and the strain rate
increased are discussed in greater detail in Section 3.2.2. The experi-
mental work supported the modelling ﬁndings; ripples became more
deﬁned as the in-planewidthwas reduced as can be seen by comparing
Fig. 11(b) to Fig. 11(a). As shown in Fig. 10(b), the “smooth” morphol-
ogywas producedwhen the ﬂash did not separate from theworkpieces.
This resulted in the interface material being extruded into the centre of
the ﬂash as the oscillatory motion was reversed.
Regardless of the ﬂash morphology type, for all cases the modelling
work demonstrated that the boundary temperature between the rapid-
ly ﬂowing viscous material and the workpiece material with negligible
ﬂow was approximately 970 °C (±30 °C), as shown in Fig. 10(c). This
is in good agreement with previous work by the authors [5,4], which
showed that signiﬁcant material softening occurs around the beta-
transus temperature, allowing for rapid material ﬂow. Furthermore, al-
though the extent of highly heated material was generally constant
across the in-plane width of the workpieces it increased toward the
Fig. 15. FEA results for the generated phase 3 thermal proﬁles as a function of the in-plane
width for an average rubbing velocity, vr, and pressure, pn, of: (a) 540 mm/s and 125 MPa
and (b) 240mm/s and 40MPa. The thermal proﬁles were symmetric around the interface.
Fig. 16. FEA results for the amount of burn-off required to expel the point-tracking as a
function of the in-plane width, average rubbing velocity, vr, and pressure, pn.
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the ﬂash conducting back into the periphery of the workpieces [24].
Fig. 12 shows the effects of the processing conditions on the rate of
ﬂash formation (burn-off rate). Note that the regression analysis
graph in Fig. 12(b) – along with all other regression graphs from this
point onward – present the results as a function of the average rubbing
velocity. As stated previously, this was because previous work showed
that changing either the amplitude or frequencywhilst keeping the rub-
bing velocity constant had a relatively weak effect on the results for the
process input range of interest in this paper [5,4].
The ﬂash formation rate increased with an increase of the rubbing
velocity or pressure, or a reduction of the in-plane width. This was
due to the following: An increase of the rubbing velocity caused a faster
rate of shearing/extruding; an increase of the pressure caused the cooler
workpiecematerial to be plunged further into the viscous interfacema-
terial, resulting in a greater amount of material being sheared/extruded
from the interface with each oscillatory cycle; and, for a comparable set
of process inputs, a reduction of the in-plane width removed a higher
percentage of the total interface material with each cycle of oscillation,
as shown in Fig. 13. The difference between the experimental 20 mmin-plane widths, i.e. experimental weld numbers 2 and 3 as illustrated
in Fig. 12(a), was minimal. This further illustrates that the in-plane
width has a greater overall effect on the characteristics of a weld than
the total cross-sectional surface area. Consequently, an average of the
burn-off rates forwelds 2 and 3was used for the 20mmvalue presented
in Fig. 12(b). Unless otherwise stated this approach was used for all of
the experimental 20 mm in-plane width values presented in the subse-
quent regression graphs, i.e., an average of the experimental weld 2 and
3 values was taken due to the difference between the two individual
values being minimal.
According to the results in Table 3, the assumption of a constant heat
ﬂux during phase 1 for the models that had the same rubbing velocity
and pressure (see Section 2.2.1) was not fully justiﬁed. Despite this as-
sumption, the burn-off history trends between the models and experi-
ments were in good agreement, as shown in Fig. 12(a). This was due
to the models entering phase 3 prior to any signiﬁcant burn-off occur-
ring, i.e. less than 0.5 mm. Once in phase 3, the heat generation, and
therefore the thermal proﬁles, were dependent on thematerial's consti-
tutive data. Consequently, the thermal proﬁle used to account for the
heating during phase 1 had relatively little inﬂuence on the results –
Turner et al. [14] also made similar conclusions in their modelling
work of Ti–6Al–4V.
In most cases, however, the 2D models under-predicted the experi-
mental burn-off rate. This was primarily due to the 2D models not ac-
counting for the experimental material expulsion out-of-plane to the
direction of oscillation. The out-of-plane material expulsion decreased
as the ratio of the in-plane width to the out-of-plane dimension was re-
duced, as shown in Fig. 11. In addition, theweight of the ﬂashwasmea-
sured in the in- and out-of-plane directions to oscillation for the
experimental welds and the results are displayed in Table 4. Conse-
quently, as the experimental out-of-plane material expulsion was re-
duced, so was the modelled under-prediction, as shown in Fig. 12.
Furthermore, Table 4 also shows that there is a strong correlation be-
tween the ratio of the in-plane to the out-of-plane dimension and the
percent of directional material expulsion. The 10 mm width model
slightly over predicted the burn-off rate, which was probably due to ei-
ther variance in the experimental results or the difference between the
ﬂow stress values in the experimental weld and the modelled weld. As
shown in Fig. 12(a), the burn-off histories for all of the models did not
exhibit such a deﬁned stepwise shortening pattern when compared to
a comparable experiment. This could have been due to the models not
Fig. 17. Ti–6Al–4V microstructure: (a) Widmanstätten at the WCZ for weld 3 (20 mm in-plane width), (b) Widmanstätten at the WCZ for weld 4 (10 mm in-plane width) and
(c) deformed, elongated and re-orientated TMAZ grains for weld 1 (40 mm in-plane width). Note that the microstructure appears ﬁner in (b) when compared to (a).
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the experimental workpieces, the difference between the ﬂow stress
values, or a combination of these factors.
3.2.2. Energy, force and thermal analysis
The results for the modelled and experimental interface tempera-
ture, strain rate, average heat ﬂux and TMAZ thickness are displayed
in Fig. 14. The peak temperature and strain rate were recorded from
the centre point of the interface. As shown in Fig. 14, regardless of the
in-planewidth, the process inputs (pressure and average rubbing veloc-
ity) had the same effect on these outputs as observed in previous work
[5,4]. Consequently, they are not discussed in signiﬁcant detail in this
paper as the focus is on the geometry. The process input effects were
as follows:
• An increase of the pressure increased the interface strain rate andheat
ﬂux, whilst decreasing the interface temperature and TMAZ thickness.
• An increase of the average rubbing velocity increased the interface
temperature, strain rate and heat ﬂux, whilst having a minimal effect
on the TMAZ thickness.
As shown in Fig. 14(a), the interface temperature decreased as the
in-plane width was decreased. This phenomenon might be explained
by the relationship between the heat ﬂux and the burn-off rate. For a
comparable rubbing velocity and pressure, a reduction of the in-plane
width increased the burn-off rate by a greater percentage than it didthe heat ﬂux, as can be seen by comparing the FEA results in Fig.
12(b) and Fig. 14(b). Although more heat per unit area went into the
weld, the heat was expelled at a much faster rate. This reduced the
time the heat had to conduct back from the interface causing the extent
of the band of highly heated material to be reduced, see Fig. 15. Conse-
quently, with the smaller in-plane widths, the material at a comparable
point farther back from the interfacewasmuch cooler.When this cooler
material reached the interface it effectively cooled theweld, producing a
lower interface temperature. These ﬁndings suggest that it may be ben-
eﬁcial to oscillate the workpieces along the shorter of the two interface-
contact dimensions. This is because the interface temperature is likely to
be reduced, possiblyminimising the residual stresses formed during the
post oscillatory motion cooling [19,34]. The relatively cooler thermal
ﬁelds for the welds that were produced with smaller in-plane widths
may also be beneﬁcial from a microstructural perspective, as will be
discussed in Section 3.3.
The thinner band of highly heated material generated with the
smaller in-plane widths was responsible for reducing the TMAZ thick-
ness, as shown in Fig. 14(c). Consequently, the extent of the band of
highly heated material and the TMAZ thickness are directly related.
The trends for the TMAZ thickness were captured by the models, but
the exact values did not match. The difference between the experimen-
tal and modelling ﬂow stress values may have contributed to the dis-
crepancies. The experimental welds also experienced extra material
expulsion due to the forging force during phase 4, which may have re-
duced the experimental TMAZ values. In addition, for the models, the
distance between the points of negligible strain on either side of the
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able TMAZ thickness was recorded, which may not have coincided
with the points of negligible strain.
As shown in Fig. 14(b) a reduction of the in-plane width also in-
creased the heat ﬂux. This was believed to be due to a reduction of the
interface temperature at these conditions, see Fig. 14(a). The lower in-
terface temperature required a greater in-plane force per unit area to
maintain oscillation, which increased the heat ﬂux (see equation (2).).
A possible reason for the models' under-prediction of the heat ﬂux
could have been due to the difference between the ﬂow stress values
of the experimental and the modelled welds.
As shown in Fig. 14(d), a reduction of the in-plane width also in-
creased the peak strain rate. This was probably due to the greater
force being concentrated on a smaller area of ﬂowing material (see
Fig. 14(c)). The strain rates that were recorded from the models are in
closer agreement to those reported by Turner et al. [14] (500 s−1 to
2500 s−1) and Chamanfar et al. [42] (1520 s−1) to those reported by
Vairis and Frost [1] (4.6 s−1).
3.2.3. Interface contaminant removal
Rich and Roberts [43] suggested that the removal of the contami-
nants from the interface of a friction weld should not be considered as
being dependent on the burn-off alone. Rather, the burn-off should be
adjusted depending on the extent of ﬂowing material/TMAZ thickness.
The results from this paper support this hypothesis for the linear friction
welding of Ti–6Al–4V. For example, as shown in Fig. 16, the burn-off re-
quired to remove the point tracking from the weld into the ﬂash de-
creased with the in-plane width. This was due to the extent of ﬂowing
material (i.e. material above 970 °C) being reduced with smaller in-
plane widths, see Fig. 15, meaning less material was required to be re-
moved to expel the point tracking. These ﬁndings also suggest that
that it may be beneﬁcial to oscillate the workpieces along the shorter
of the two interface-contact dimensions. This is because the burn-off re-
quired to remove the contaminants from theweld into the ﬂash is likely
to be reduced. Hence for the same burn-off, the factor of safety on con-
taminant removal is greater.
As shown in Fig. 16, the rubbing velocity had relatively little effect on
the required burn-off, whilst an increase of the pressure reduced the
value. This was for the same reasons reported by the authors previously
[4].
3.3. Microstructure observations
The interface region of the experimental Ti–6Al–4V workpieces ex-
perienced signiﬁcant microstructural changes. The welds were similar
in appearance in that they had several distinct zones – a weld centre
zone (WCZ), a thermo-mechanically affected zone (TMAZ) and the par-
ent material. Due to the structural stability of Ti–6Al–4V below temper-
atures of 800 °C [44,45] it was often difﬁcult to detect a purely heat
affected zone. This is in good agreement with the literature [5,4,30,34,
46,47].
According to the models, the WCZ of the experiments exceeded the
beta-transus temperature (see Fig. 14(a)). The WCZ experienced large
strains and strain rates (see Fig. 14(d)) which would have resulted in
signiﬁcant, dynamic recrystallisation of the high-temperature beta-
phase material [48,49]. Upon cooling the recrystallised beta-phase ma-
terial transformed into a Widmanstätten microstructure, as shown in
Fig. 17. For the same combination of process inputs, the microstructure
appeared much ﬁner in the welds that were produced with smaller in-
planewidths (compare Fig. 17(a) and (b)). Thisﬁnding is in good agree-
ment with Karadge et al. [9].
The ﬁnermicrostructure for thewelds producedwith the smaller in-
planewidths could have been due to the higher strain rates experienced
(see Fig. 14(d)). This would have caused more recrystallisation during
processing, reﬁning the prior beta grains [45,49]. Furthermore, accord-
ing to Gil et al. [50], theWidmanstätten morphology is ﬁner with fastercooling rates. The modelling work showed that for an average rubbing
velocity of 540 mm ∙s−1 and a pressure of 125 MPa the centre of the
weld interface cooled from the beta transus temperature to 500 °C at a
faster rate for the smaller in-plane widths. For example, for 40 mm,
20 mm and 10mm in-plane widths the cooling rate was approximately
110 °C ∙s−1, 210 °C ∙s−1 and 320 °C ∙s−1, respectively. This phenomenon
was due to the narrower band of highly heated material produced with
smaller in-plane widths (see Fig. 15(a)). The narrower band of material
had less heat to be conducted from the interface region into the bulk
material, allowing for a faster rate of cooling. Themore reﬁnedWCZmi-
crostructure for the welds produced with the smaller in-plane widths
may, according to the literature, possess superiormechanical properties
[3,51,52].
Due to the original alpha-grains of the parentmaterial being present,
the material in the TMAZ did not appear to have exceeded the beta-
transus temperature or experienced any noticeable dynamic
recrystallisation. However, many of the TMAZ grains were deformed,
elongated and re-orientated toward the direction of oscillation, as
shown in Fig. 17(c), which is in agreement with the literature [5,10,4,
30].
4. Conclusions
The primary conclusions from this work are as follows:
1. The 2D models captured many of the experimental weld trends and
gave good insight into the LFW process for the joining of Ti–6Al–4V
workpieces with different sizes.
2. For the LFW conditions evaluated, the in-plane width of the work-
pieces in the direction of oscillation (in-plane width) generally had
a greater effect on the experimental welding process characteristics
than the cross-sectional area.
3. The ﬂashmorphologywas sensitive to the processing conditions. The
ripple morphology becamemore noticeable as the ratio between the
TMAZ thickness and the amplitude was reduced.
4. The experimental weld interface consisted of a Widmanstätten mi-
crostructure, which became ﬁner when the in-plane width was
reduced.
5. A reduction of the in-plane width also increased the steady-state
burn-off rate, strain rate and required heat ﬂux. Furthermore, a re-
duction of the in-plane width decreased the interface temperature,
extent of highly heated material, TMAZ thickness and the burn-off
required to remove the point tracking/interface contaminants from
the weld into the ﬂash.
6. The burn-off required to remove the interface contaminants into the
ﬂash should not be considered as a stand-alone value, but rather as a
function of the generated TMAZ thickness. As the TMAZ thickness is
increased more burn-off is required to expel the interface contami-
nants. These ﬁndings suggest that it may be beneﬁcial to oscillate
theworkpieces along the shorter of the two interface-contact dimen-
sions. This is because the burn-off required to remove the interface
contaminants into the ﬂash is likely to be reduced. Hence, for the
sameburn-off, the factor of safety on contaminant removal is greater.
Furthermore, these conditions are also likely to decrease the inter-
face temperature, which may offer additional process beneﬁts.
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